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Abstract

In this work, the nominal stress concept, the notch stress approach and two

critical plane approaches are used to analyse the fatigue endurance of a pipe-

to-plate welded joint subjected to complex loading histories. Both the pipe and

the plate were made of S355JR steel. Starting from already known fatigue

endurance curves obtained for the same specimens under pure bending and

pure torsion, a first series of tests was conducted, in which specimens were

loaded in bending for a given fraction of the estimated life and then in torsion

until failure. A similar series of tests was then carried out by changing the

loading order: specimens were firstly loaded in torsion for a given fraction of

the estimated endurance and then in bending until failure. The whole test

campaign was repeated for two different fractions of the estimated life, that is,

0.3 and 0.45, respectively. After that, additional three series of tests were car-

ried out, in which the specimens were subjected to consecutive sequences of

bending and torsion blocks of different lengths (short, medium and long,

respectively); the relative length of the bending and torsion block in each series

was determined in order to produce the same damage. The experimental

results, in terms of total damage at failure, were analysed using the Palmgren–

Miner hypothesis. For all the assessment methods, the characteristic endur-

ance curves were firstly calibrated on the basis of finite element (FE) analyses

and of the experimental results obtained under pure bending and pure torsion

loadings. The observed damage at failure resulted always greater than 0.5 for

all the employed methods and greater than 1 for most of the tests. The differ-

ent methods gave similar results, with the critical plane methods giving a

slightly more stable damage at failure and a correct determination of the fail-

ure location. For all the methods, the damage at failure slightly reduces as the

block length shortens.
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1 | INTRODUCTION

This paper deals with fatigue life assessment of welded
joints under variable amplitude multiaxial loads. Such a

complex loading scenario is rarely investigated in the lit-
erature due to its high complexity and to the large num-
ber of variables involved, even if it appears to be quite
frequent in real applications.
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The nominal stress concept is frequently considered
for the fatigue assessment, due to its simplicity, rep-
resenting the oldest design method originating from
times in which a local stress determination [strain gauges
or later finite element method (FEM)] was not possible.
However, its application requires the calculation of a
nominal stress (e.g. based on beam theory), that is possi-
ble for simple geometries only, and the allocation of a
notch factor or notch case for the selection of the appro-
priate S–N line, in case of welded joints, fixed by the
geometry-dependent FAT class given in design codes.1,2

Local approaches, on the other side, are based on
local parameters of the stress–strain field, evaluated at
the critical locations3–10 and can provide more reliable
fatigue endurance assessments (see, e.g., Bertini et al.11–12

and Meneghetti13), with the main advantages of being
independent from the joint geometry. Damage (crack ini-
tiation) is, indeed, a local phenomenon that can be tack-
led by the knowledge of the local stress–strain state and
the local material properties as described in Radaj et al.5;
to this regard, it has also to be observed that the joint
stiffness, which is influenced by the plate stiffness and
bolt position, may also affect the location of fatigue fail-
ure (see, e.g., Bertini et al.11).

Among local methods, the notch stress approach
(NSA), developed in its modern formulation by Radaj3

and based on Neuber's concept of microstructural sup-
port, is one of the most popular for evaluating the fatigue
life of welded joints, being also recommended in guide-
lines and regulation codes.2,14 The notches on the compo-
nent are fictitiously enlarged to a fixed value and,
subsequently, the elastic stress range (von Mises or maxi-
mum principal stress) is estimated at the critical location
by finite element analysis.

Alternatively, critical plane approaches rely on the
experimental observation that the fatigue cracks on
smooth specimens initiate and propagate, in the first
stage, in preferred orientations. Indeed, crack nucleation
is an extremely local phenomenon, whose scale can be
compared with grain size and, at this level, a metallic
material cannot be considered as homogeneous and the
combination of microstructure and load orientation is
believed to result in favourable orientations for crack
nucleation. The Findley criterion was one of the first criti-
cal plane models to be employed. It is a stress-based criti-
cal plane approach that maximizes a combination of
shear stress amplitude and maximum normal stress
occurring over a load cycle in the critical plane. The
cyclic shear stress induces the nucleation of cracks,
whereas the normal stress influences the crack propaga-
tion. The Findley criterion has already been applied for
fatigue life assessment of welded joints both in its origi-
nal15 and also in a modified formulation.16 The Fatemi-

Socie is another widely used critical plane approach. It
has proved itself as a robust framework for fatigue life
assessment, yielding reliable life assessments for a num-
ber of structural metals with ductile behaviour and show-
ing shear cracking, including not only several steels and
super alloys (Inconel),10 but also aluminium alloys.17 On
the other side, when failure appears to occur with crack-
ing on maximum tensile plane, such as in case of addi-
tively manufactured titanium alloys, this method is not
recommended.18 Also, this method was successfully
employed to account for the effects of multiaxial loading
conditions, including the effect of variable amplitude
loads.19–23 The fatigue life assessment of welded joints by
the FS approach, instead, has only been recently
proposed.24,25

A general review of fatigue criteria for variable ampli-
tude multiaxial loads is given in Carpinteri et al.26 Con-
sidering the cumulative damage, even if different theories
have been proposed,27 the linear damage rule28 is proba-
bly the most widely used one,29 and the use of Palmgren–
Miner hypothesis for the fatigue life assessment of welded
joints, even under multiaxial loads, is, actually, a com-
mon practice.1,2,30,31 In its original formulation, the
Palmgren–Miner hypothesis states that failure occurs
when the total damage, obtained as the sum of the partial
damages produced by each loading cycle of constant
amplitude, reaches the unitary value. A first aspect, rele-
vant to welded joints especially in case of multiaxial load-
ing, is that many authors have suggested the use of a
total damage D lower than unity.32,33 Based on results
obtained on steel and aluminium welded joints under
multiaxial loading conditions, the IIW recommend an
allowable damage summation equal to D = 0.5.2,34,35

Backstrom and Marquis36 reviewed a collection of experi-
mental tests under multiaxial loading conditions that are
available in the literature and applied a modification of
Findley's critical plane approach32,33 to the ‘hot spot’
stress finding a better correlation of the experimental
data than what was achieved by maximum principal
stress. Sonsino37 and Zhang and Maddox38 applied the
Palmgren–Miner hypothesis to a number of variable
amplitude loading tests performed on welded joints and
found that for the vast majority of the analysed data, the
total damage D at failure was less than the theoretical
unitary value, with worst case values approaching
D = 0.1. Then, D = 0.5 has to be considered as a conven-
tional engineering estimate, which is a sort of mean value
obtained based on the experimentally observed damages.

Aim of the present work is to discuss the capability of
the nominal stress concept, the notch stress approach
and of some of the most widely employed critical plane
approaches in evaluating the fatigue endurance of welded
joints under complex loading histories. Before analysing
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the experimental results, each assessment method was
firstly calibrated based on the results obtained for the
same kind of specimen under simple, that is, pure bend-
ing and pure torsion, loading conditions, obtaining char-
acteristic endurance curves.

2 | EXPERIMENTAL ACTIVITY

The specimens employed for the experimental campaign
consisted of a pipe (external diameter of 64 mm and a
thickness of 10 mm) joined by seam welding to a 25-mm
thick plate. The weld throat thickness was about 7.1 mm.
Both the pipe and the plate were made of structural steel
S355JR (nominal yield and ultimate strength of
Sy = 355 MPa and Su = 520 MPa, respectively). The speci-
men, nearby its end, opposite to the plate, has a circular
flange, butt welded to the pipe and used to join the speci-
men to the loading arm (see Figure 1, left).

Tests were performed thanks to the in-house devel-
oped test bench shown in Figure 1 (right) and described
in Frendo and Beritini.39 The bench is composed of two
independently controlled hydraulic actuators connected
on the opposite sides of a loading arm, which is bolted to
the upper part of the specimen. The independent control
of each actuator allows to produce on the specimen any
desired combination of bending and torsion.

The loading arm has a total length of 2b = 600 mm.
The lower plate of the specimen is fixed to the bench by
M20 bolts. The hydraulic actuators are controlled in

order to produce sinusoidal forces with given amplitude,
mean load and relative phase shift, that is, F1(t) = a1 sin
(ωt) + ξ and F2(t) = a2 sin (ωt + 2γ) + η; such forces can
be determined in order to obtain the desired bending and
twisting moments Mb and Mt in the weld:

Mb tð Þ= F1 tð Þ+ F2 tð Þ½ �h,
Mt tð Þ= F1 tð Þ –F2 tð Þ½ �b, ð1Þ

where the bending and torsion arms h and b are related
to the pipe and the lever arm lengths, respectively. A
prevalent bending load in the welded cross section is
obtained imposing a1 = a2, ξ = η and γ = 0 (in this case
also, a shear stress is present; however, its value can be
usually neglected, for the given geometry and applied
loads). Instead, a torsion load is obtained with a1 = a2,
ξ = −η and γ = π/2.

Tests with different blocks of bending and torsion
were analysed in this work, for a total of seven test series.
Four block load series (i.e. ‘B1’, ‘B2’, ‘T1’, ‘T2’) were
already published by the authors,40 whereas three addi-
tional series (i.e. ‘L’, ‘M’ and ‘S’) are published here for
the first time.

The first two series of tests (named B1 and B2 in
Table 1) were designed so that the specimens were loaded
in bending for two different fractions of the estimated
fatigue endurance (i.e. for damages Di = 0.3 and
Di = 0.45). Subsequently, they were loaded in torsion
until failure.

FIGURE 1 Specimen (left) and

experimental apparatus (right). The specimen is

loaded by two hydraulic actuators attached at

the opposite ends of a lever arm; when the

actuators act perfectly in phase, the welded joint

is subjected to prevalent bending, whereas

when they operate opposite in phase, a twisting

moment is applied to the joint. In the lower part

of the picture the system used to detect the

presence of a through-the-thickness crack

(based on pressure drop inside the pipe) can

also be recognized [Colour figure can be viewed

at wileyonlinelibrary.com]

TABLE 1 Test series made of two loading blocks

Test 1st block D1 n1 2nd block n2

B1 Bending 0.30 2.76�105 Torsion Until failure

B2 Bending 0.45 4.14�105 Torsion Until failure

T1 Torsion 0.30 3.06�105 Bending Until failure

T2 Torsion 0.45 4.59�105 Bending Until failure
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Two other series (named ‘T1’ and ‘T2’ in Table 1) were
then obtained inverting the loading sequence: first, the
torsion load was applied to reach the desired fraction of
the fatigue life (i.e. Di = 0.3 and Di = 0.45); then, the
specimens were loaded in bending until failure.

In the last three series (named ‘L’, ‘M’ and ‘S’ in
Table 2), fixed length blocks of bending and torsion were
applied, consecutively, without interruption until failure.
The lengths of bending block were fixed equal to
nb = 10 000, 100 and 10 cycles, for the L, M and S blocks,
respectively, whereas the torsion block lengths were cal-
culated in order to obtain the same damage (based on the
nominal stress concept), i.e. Dben/Dtor = 1 if Dben and Dtor

are the partial damages of the bending and torsion block,
for each sequence. The obtained torsion block lengths
were equal to nt = 11 000, 110 and 11 cycles, according to
a slightly higher endurable stresses in torsion, as
obtained in previous investigations performed on the
same kind of specimens38,41 (see Figure 2).

All the tests were performed with a load ratio R = 0.

With reference to data shown in Figure 2, the nomi-
nal stress ranges in the bending and torsion blocks were
selected as described in the following. For the bending
blocks, the nominal normal stress amplitude of
σa,n = 64 MPa (Δσn = 128 MPa) was selected,
corresponding to an expected fatigue life of
Nb = 9.2�105 cycles. Therefore, the fatigue life fractions of
Di = 0.3 and Di = 0.45 resulted as bending blocks having
lengths of nb,0.3 = 2.76�105 and nb,0.45 = 4.14�105,
respectively.

For the torsion blocks the nominal shear stress ampli-
tude τa,n = 72.5 MPa (Δτn = 145 MPa) was selected, in
order to have a normal to shear stress ratio equal to σn/
τn = 0.88; this allows a comparison of the obtained results
with previously published data by the authors.39,42 For
the selected shear stress, the expected endurance is equal
to Nt = 10.2�105 cycles (Figure 2), and, therefore, the
fatigue life fractions of Di = 0.3 and Di = 0.45 resulted in
block lengths of nt,0.3 = 3.06�105 and nt,0.45 = 4.59�105,
respectively.

All the specimens were tested in the as-welded condi-
tion. The adopted failure criterion was the presence of a
through-the-thickness crack. The occurrence of this kind
of damage was easily detected by the sudden drop in the
air pressure imposed in the lower chamber of the speci-
men, before starting each test.

The complete test plan is summarized in Tables 1 and
2. Three tests were repeated for the test series ‘B1’, ‘B2’,
‘T1’ and ‘T2’, whereas four tests were repeated for series
‘L’, ‘M’ and ‘S’, for a total of 24 experiments.

3 | EXPERIMENTAL RESULTS

The details of the whole experimental campaign in terms
of cycles to failure are given in Table 3. The first column
of Table 3 refers to the tests series definitions given in
previous Tables 1 and 2, whereas the columns nb and nt
refer to the number of endured cycles in bending and tor-
sion, respectively; those lengths were necessary to obtain
a through-the-thickness fatigue crack. In the last two col-
umns, the total number of cycles and the expected num-
ber of cycles to break through, obtained based on the
Palmgren–Miner hypothesis with D = 1 and the nominal
stress concept, are given. For all the tests, the nominal
stress amplitude were σa,n = 64 MPa and τa,n = 72.5 MPa.
The fatigue cracks always originated from the weld root,
with very few exceptions, which can be attributed to the
intrinsic variability of welds.

For the case of B and T tests (i.e. in case of two load-
ing blocks), 2 106 cycles for the second load block were
considered as run-out, whereas for L, M and S tests, a
total of 2 106 cycles were assumed as run-outs, instead.

TABLE 2 Test series composed of many consecutive blocks

Test
series

Bending block
length

Torsion block
length

L 10 000 11 000

M 100 110

S 10 11

FIGURE 2 Bending and torsion endurance data with R = 0

(taken from Bertini et al.42); the 50% probability of survival best fit

lines are also shown and the inverse slope coefficients given; the

amplitude of nominal normal and shear stress used for test are

indicated in the graph [Colour figure can be viewed at

wileyonlinelibrary.com]
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One run-out was obtained for the case of two loading
blocks (T2 test, 10th row in Table 3), where after the first
portion of the test in which the specimen was loaded in
torsion, 2 106 cycles of bending were applied without
observing any through-the-thickness crack. In case of L,
M and S tests (many consecutive blocks), one run-out
was obtained for one of the L tests (14th row in Table 3),
where the total number of cycles exceeded 2 106 cycles
(the test was actually stopped a little bit later and at 2.06
106 cycles).

Figure 3 gives an example of the experimentally
recorded time history of the loads exerted by the two
hydraulic actuators and the evaluated time histories of
nominal normal and shear stresses. The plots show a first
block of torsion, followed by a transition (load shifting)
from the mean torsion load to the mean bending load
and by a bending block. It can be easily recognized, both
from the actuators loads and from the stress time history,
that both the torsion and bending blocks have load ratio
R = 0.

4 | ANALYSIS OF RESULTS:
FATIGUE LIFE ASSESSMENT

The Palmgren–Miner hypothesis, commonly suggested in
case of variable amplitude loads, was used for evaluating
the total damage:

D=
X ni

Ni
, ð2Þ

where ni and Ni are the applied and the endurable load
cycles for the considered load. The endurable cycles Ni

were determined according to the different damage
parameters, belonging to the different analysed
methods; these will be briefly summarized in next
sections.

The effect of residual stresses was not considered in
the following analysis, assuming that stresses induced by
the testing loads were high enough, at least locally, to
cancel the initial residual stress state.

TABLE 3 Test results in terms of cycles to break through

Test σa,n (MPa) nb/10
5 τa,n (MPa) nt/10

5 Ntot/10
5 Nexpected/10

5

B1 64 2.76 72.5 17.9 20.7 9.9

B1 64 2.76 72.5 12.3 15.1 9.9

B1 64 2.76 72.5 19.4 22.2 9.9

B2 64 4.14 72.5 16.6 20.6 9.75

B2 64 4.14 72.5 5.5 9.5 9.75

B2 64 4.14 72.5 11.9 15.9 9.75

T1 64 11.9 72.5 3.06 15.0 9.5

T1 64 6.2 72.5 3.06 9.3 9.5

T1 64 14.5 72.5 3.06 17.6 9.5

T2 64 interr. at 20.0 72.5 4.59 24.5 (run-out) 9.65

T2 64 19.2 72.5 4.59 23.7 9.65

T2 64 8.70 72.5 4.59 13.2 9.65

L 64 5.4 72.5 5.9 11.3 9.66

L 64 9.8 72.5 10.8 20.6 (run-out) 9.66

L 64 6.5 72.5 7.2 13.7 9.66

L 64 8.8 72.5 9.7 18.4 9.66

M 64 7.6 72.5 8.4 15.9 9.66

M 64 5.9 72.5 6.5 12.3 9.66

M 64 6.7 72.5 7.4 14.1 9.66

M 64 4.3 72.5 4.8 9.1 9.66

S 64 5.5 72.5 6.1 11.5 9.66

S 64 7.5 72.5 8.2 15.7 9.66

S 64 3.2 72.5 3.5 6.7 9.66

S 64 2.8 72.5 3.1 5.9 9.66
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4.1 | Fatigue life assessment by the
nominal stress concept

When they can be applied, nominal stresses are by far
the simpler and straightforward endurable stresses used
in fatigue life assessment, and they are usually preferred
by engineers working in the industry due to their simplic-
ity. By this method, a detailed knowledge of the local
stress–strain is not required and no FE analysis is needed;
the analysis is linear elastic, and no plasticity at the weld
notches is considered.

The fatigue life is directly related to the nominal
values that can be obtained according to common stress
formulas, based on beam theory. This method is among
those recommended by both the International Institute of
Welding (IIW)2 and by the Eurocode 3.1 For the present
case, the nominal stress in bending and torsion are easily
evaluated by Equations 3 and 4, respectively, where Mb,
Mt are the bending and torsion moment, and Wb, Wt are
the corresponding strength modulus of the weld section,
which can be directly computed for the given weld geom-
etry, described in Section 2:

σn =Mb=Wb, ð3Þ

τn =Mt=W t: ð4Þ

Besides, the applied nominal stress amplitudes were
defined in previous sections and in Table 3. The endur-
able number of cycles to be used in the Palmgren–Miner
relationship was determined on the basis of previously
determined S–N curves (Figure 2).42 The damage due to
bending and torsion were evaluated, separately, by con-
sidering different S–N curves of nominal normal stress
and nominal shear stress.

The damage coming from the mean stress variation
(indicated as ‘load shifting’ in Figure 3) in the load cycle
was evaluated considering no variation in the slope coef-
ficient in the high cycle range (i.e. k' = k). It is worth not-
ing that the load shifting causes a fatigue cycle having a
stress range equal to half the stress range of the main
loading cycle and a stress ratio R = 0, as the main load
cycle (Figure 3).

4.2 | Fatigue life assessment by notch
stress approach

Instead of using reference FAT design curves, the experi-
mental data shown in Figure 2 were processed by using
the FE model described in Section 4.4 with a linear elas-
tic material behaviour. In addition, for the application of
this method, a fictitious radius of ρr = 1 mm was used for
all the notches, together with the von Mises equivalent
stress hypothesis. No mean stress sensitivity factor was
used because of the high residual stresses expected in
case of welded joints. Two different endurance curves
were obtained, one for pure bending and one for pure
torsion (Figure 4); inverse slope coefficients of 4.4 and 5.8
were obtained for pure bending and pure torsion,
respectively.

FIGURE 3 Experimental load sequence with highlighted the

torsion, bending and load shifting phases (upper plot) and

evaluated nominal normal and shear stress (bottom plots) [Colour

figure can be viewed at wileyonlinelibrary.com]

FIGURE 4 von Mises stress versus number of cycles to break

through, obtained on the basis of test in pure bending and pure

torsion loading, according to the notch stress approach (NSA)

[Colour figure can be viewed at wileyonlinelibrary.com]

FRENDO ET AL. 1295

http://wileyonlinelibrary.com
http://wileyonlinelibrary.com


For the sake of simple comparison, Figure 4 also
shows the FAT lines for pure bending and pure torsion
taken from Fricke43; 1.1 and 1.06 correction factors were
used for pure bending and for pure torsion because the
FAT values were evaluated for R = 0.5.44 As it can be
observed, the FAT line for bending appears in reasonable
agreement with experimental data, whereas the FAT line
for torsion appears to underestimate the fatigue endur-
ance of the experimental data used in this work. The
damage resulting from bending and torsion loading block
was then evaluated by Equation 2.

The damage caused by the load shifting from bending
to torsion and vice versa was evaluated considering the
equivalent stresses due to torsion and that due to bend-
ing, separately, as it is recommended in the Eurocode for
the nominal stress concept. Also in this case, no variation
in the slope coefficient was considered, as for the nomi-
nal stress concept, to evaluate the expected number of
cycles to failure for half of the applied load.

4.3 | Fatigue life assessment by Fatemi-
Socie and Findley critical plane approaches

For the case of Fatemi-Socie criterion, the FS parameter
is given by:

FS=
Δγ
2

1+ kFS
σn
Sy

� �
, ð5Þ

where it was is assumed kFS = 0.4 similarly to what
adopted in Hemmesi24 and the critical plane was
assumed as the plane that experiences the maximum
value of the FS parameter given by Equation 5.

In order to obtain the fatigue curve related to the FS
parameter, the experimental data already shown in
Figure 2 and obtained under pure bending and pure tor-
sion were reinterpreted based on the FS parameter given
in previous Equation 5. To do this, the FE model
described in next section was employed. The FS parame-
ter versus number of cycles to break through was so
obtained (Figure 5). As it can be observed, data belonging
to pure torsion or pure bending appear to belong to a
same endurance curve, having inverse slope coefficient
equal to 4.1. A similar curve was obtained by the authors
in Marulo et al.45 by using a 1-mm fictitious radius at all
the three weld notches. By comparing the present curve
(Figure 5) with the one obtained in Frendo and Bertini,39

it can be observed that, as it can be reasonably expected,
the endurance curve depends on the radius used in the
FE model.

According to Findley,46 failure occurs on the plane
that experiences the maximum value of the parameter:

FP=
Δτ

2
+ kFPσn, ð6Þ

where Δτ is the shear range and σn is the normal stress
acting on the critical plane. It was assumed kFP = 0.131,
as usually adopted for ductile materials.47 In the same
way as for the FS parameter, the experimental data of
bending and torsion were reinterpreted based on Equa-
tion 6, by the FE analyses described in next Section 4.4.
The fatigue endurance curve shown in Figure 6 was so
obtained, giving the Findley's parameter versus number
of cycles to break through. Like the in the previous case,
the bending and torsion points belong to the same curve,
having an inverse slope coefficient equal to 7.

FIGURE 5 FS versus number of cycles to break through,

obtained on the basis of test in pure bending and pure torsion

loading, according to the Fatemi-Socie parameter [Colour figure

can be viewed at wileyonlinelibrary.com]

FIGURE 6 FP versus number of cycles to break through,

obtained on the basis of test in pure bending and pure torsion

loading, according to the Findley parameter [Colour figure can be

viewed at wileyonlinelibrary.com]
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4.4 | Local damage evaluation by FE
analysis

Critical plane methods require a detailed description of
the stresses and strains at the critical notches, where the
fatigue cracks originate and, in reference to this, the fol-
lowing aspects were considered.

The actual geometry of a seam weld is difficult to be
reproduced and varies from specimen to specimen. The
fillet seam under investigation presents three sharp
notches, that is, two weld toes and a weld root, whose
shape are extremely irregular and that can show relevant
variations even along the seam in the same specimen. On
the basis of pictures taken on the weld cross section, it
can be observed that the weld toe on the tube has a sig-
nificantly larger radius than the radius on the plate side
toe or at the weld root (see Figure 7); this is due to the
effect of gravity on the molten metal during welding. This
causes the weld root and the weld toe on the plate to
have a significantly greater notch effect. Based on this
experimental observation the FE model was built using
the submodelling technique with different radii at the
notches as follows (1-mm fictitious radii were used for
the NSA).

A global model of the specimen with reduced com-
plexity (Figure 8A) is firstly analysed; the small geometri-

cal details that only affect the solution on a local scale
were not considered in the global model and a linear
elastic material was adopted at this stage. This is based
on the observation that the plastic deformations are local-
ized at the stress concentration sites and involve only a
small material volume and, therefore, their effect on the
global displacements can be neglected. The use of a linear
elastic material model allowed to reduce the computa-
tional effort and the superposition principle to be used.
With this assumption, the global model needed to be
evaluated only twice: once for a unitary bending and
once for a unitary twisting moment.

The second simulation step is related to the sub-
model, which involves a portion of the weld seam
(Figure 8B). The input for this model is represented by
the displacement field computed on its boundary surfaces
by means of the global model. For the submodel
(Figure 8B), a 2-mm fillet radius was selected on the pipe
side weld toe, whereas and a 0.2-mm fillet radius was
used on both the plate side weld toe and on the weld
root, according to Figure 7; in addition, a nonlinear mate-
rial model was used in the submodel. For the numerical
analyses related to the NSA, a linear elastic material and
1-mm fictitious radius notches were used.

An extremely fine mesh was created at the stress con-
centration sites (Figure 8B). This allows for a detailed

FIGURE 7 Cross section of the

seam weld (left) and schematic

representation showing the geometrical

radii that were assumed at the three

notches (right) [Colour figure can be

viewed at wileyonlinelibrary.com]

(A) (B)

FIGURE 8 View of the global model with

torsion loading applied on top (A) and details of

the submodel (B) [Colour figure can be viewed at

wileyonlinelibrary.com]
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description of the stress/strain state in the volume of
material where the highest stress/strain gradients are
expected. On the notch proximity a mapped mesh made
of rectangular hexahedra was generated to obtain a
higher level of accuracy, if compared with a free mesh
made of tetrahedra with the same number of nodes.48

The loads in the FE model were applied at top of the
specimen, far away from the weld (an example is shown
in Figure 8A, for the case of torsion).

The FS and the FP parameters have to be evalu-
ated considering the variation of the stress and strain
tensors between two consecutive load conditions. The
loading scheme illustrated in Figure 9 was applied to
the FE model, and the results at each load step were
stored in separate files, for subsequent analysis. The
maximum bending and maximum torsion (Steps 1 and
2) were firstly applied to the FE model, in order to
set the initial strain state in the plastic volume. Then,
the load sequence from Steps 3 to 9 was used to ana-
lyse any load block. A bending cycle is reproduced
(Steps 3 to 5) in the FE model, corresponding to max
bending to nearly zero and then back to maximum
bending. Then, the actuator loads go to mean bending
(Step 6) followed by mean torsion (Step 7). Steps 8 to
10 represent a cycle in torsion. Finally, the mean tor-
sion (Step 11) and mean bending (Step 12) are
applied.

With reference to critical plane approaches, the dam-
age in each cycle is evaluated considering the stress and
strain tensor variations between the load steps as indi-
cated below:

damage due to a bending cycle: Steps 4 to 5;
damage due to a torsion cycle: Steps 9 to 10;
damage due to load shifting from average bending to

average torsion: Steps 6 to 7;
damage due to load shifting from average torsion to

average bending: Steps 11 to 12.

4.5 | Material model

In the FE analysis, the whole joint was supposed to be
constituted of a single and homogeneous material, having
the same properties of the base material; it is well known
that the material constituting a welded joint does not
show homogeneous properties (see, e.g., Marulo et al.49)
and this was a mere simplification.

The following assumptions were adopted to describe
the nonlinear material used in the submodel, in case of
the Findley and Fatemi-Socie critical plane approaches:

• Yield function: von Mises equivalent stress.
• Flow rule: Prandtl–Reuss flow equation (which is asso-

ciated with von Mises yield function).
• Hardening rule: isotropic hardening, commonly used

for stabilized cyclic deformation.50

The cyclic stress–strain relationship at yielding was esti-
mated, starting from the static properties of the base
material, by the Ramberg–Osgood relationship:

ε=
σ

E
+

σ

K 0
� � 1

n0
: ð7Þ

The numerical values of the parameters that appear in
the previous equation were obtained based on the empiri-
cal relationships suggested for steel components in Lopez
and Fatemi51; in particular, the cyclic strength coefficient
was estimated starting from the ultimate stress (Su)
according to Equation 8

K 0 =1:16 Suð Þ+593, ð8Þ

while the cyclic strain hardening exponent can be related
to the ultimate (Su) and the yield (Sy) stresses by
Equation 9:

FIGURE 9 Load sequence applied to the

FE model (actuator forces definition according

to Figure 1) [Colour figure can be viewed at

wileyonlinelibrary.com]
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n0 = −0:33
Sy
Su

� �
+0:40: ð9Þ

When applied to the S355JR steel under investigation
(Sy = 355 and Su = 520 MPa), the following parameters
were obtained: K0 = 1185 MPa and n' = 0.175.

4.6 | Numerical procedure for critical
plane determination

As already stated, the critical plane was assumed as the
plane where the variation of the selected parameter in
the load cycle assumes its maximum value. For any given
location (node in the FE model), this plane was deter-
mined starting from the stress and strain tensors varia-
tion between two load steps (Δσ and Δε). This was
accomplished by an automatic routine appositely devel-
oped, where the stress and strain tensors, (3 × 3) matri-
ces, were rotated according to an x–y–z intrinsic Euler
angles set, in small increments of 2.5� along all possible
directions. Generally speaking, two rotations would be
sufficient to determine a plane orientation, the third rota-
tion not introducing any variation in the plane orienta-
tion; however, this would require summing up the two
components of the shear strain range in each plane to
check when the maximum of the parameter is obtained.
With the developed routine, instead, the maximum value
of the parameter is directly obtained by considering all
possible orientation of the reference frame.

The above illustrated procedure was repeated for all
the nodes along the main notches, where failure could
take place, to identify the critical locations and the critical
plane orientations under the different loading conditions.

5 | RESULTS AND DISCUSSION

5.1 | Nominal stress concept

Figure 10 on the left shows the damages at failure
obtained by the nominal stress method, whereas

Figure 10 on the right shows the same results in the form
of occurred versus expected number of cycles to break
through (see Table 3 for numerical data); data are aligned
at almost the same expected life, since tests were planned
in this way, based on the nominal stress concept (i.e. data
given in Figure 2).

As it can be observed in the left plot, a different dam-
age at failure was observed for each block sequences. The
average values range from 1.78 for the two blocks
sequence to 1.03 for the ‘short’ block sequence and looks
like the average damage for each test series tends toward
unity, as the length of the block shortens. In addition, for
the analysed tests, the damage at failure was greater than
1 in most of the tests, always greater than the conven-
tional 0.5 value suggested by IIW and lower than 1 only
in few cases.

Considering all the results, with the exceptions of
run-outs, the overall average damage and the standard
deviation resulted 1.49 and 0.49, respectively.

It is also worth noting that the damage resulting from
load shifting is negligible, even if the elementary Palm-
gren–Miner modification of the S–N curve (i.e. no varia-
tion in the slope of the S–N curve) is used. Indeed, the
stress amplitude is half the nominal stress amplitude
used for the tests and σa,n = 32 MPa and
τa,n = 36.25 MPa, respectively. The expected endurance
with these stress amplitudes (with no variation in the
slope coefficient) is about 3 107 and 8 107 cycles for bend-
ing and torsion loading, respectively (see Figure 2); when
these endurances are used in the Palmgren–Miner rela-
tionship (Equation 2), no appreciable damage turns out.

5.2 | Notch stress approach

Very similar results were obtained with the application of
the NSA; the damage of each test is reported in Figure 11
on the left, while occurred versus expected number of
cycles to break through are shown in Figure 11 on the
right. Also, in this case, the damage is higher than 1 for
almost all the tests, with an average value, computed over

FIGURE 10 Total damage at

break through for each load block

according to Palmgren–Miner

hypothesis, based on the nominal stress

concept (left); for the two block

histories, the four test series are

distinguished; experimental versus

expected number of cycles based on the

nominal stress concept and according to

the Palmgren–Miner hypothesis (right)

[Colour figure can be viewed at

wileyonlinelibrary.com]

FRENDO ET AL. 1299

http://wileyonlinelibrary.com


all the test, of 1.65 and a standard deviation of 0.56. By
considering a fictitious radius of 1 mm in all the notches,
the weld toe on the pipe side (Weld Toe1 in Figure 7) was
obtained as the critical location for failure initiation, as
indicated in Table 4. This was not confirmed by test out-
comes and suggests that the actual geometry of the joint
has to be described in the analysis to correctly obtain the
failure location, in the present case.

As for the nominal stress concept, also in this case,
the damage coming from the load shift appeared not to
be significant, resulting always lower than 1% of the total
damage.

5.3 | Fatemi-Socie and Findley
parameters

The FS and FP parameters evaluated for each loading
cycle by the FE model previously described are given in
the second column of Table 5. The node number is also
shown in Figure 12, showing an enlarged view of the cen-
tral portion of the notch at the weld root. The last column
in Table 5 gives the number of cycles to break through,
based on the adopted critical plane parameter, that is, on
the plot shown in Figures 5 and 6, respectively; this data
is useful to evaluate the damages shown in Figures 13
and 14 according to the Palmgren–Miner hypothesis
(Equation 2).

As it will be discussed with reference to Figures 13
and 14, similar results were obtained by the FS and FP
parameters. The node where the adopted parameters is at
maximum is practically the same; a very subtle difference

can be observed only in the case of ‘bending to torsion’,
as shown in Table 5 and Figure 12.

The nodes of the FE model that experience the
highest critical plane parameter in the different loading
conditions are located at the weld root, in agreement
with the observed failures and are very close among each
other, so that it can be considered that the failure loca-
tion is always in the middle of the root notch (see
Figure 12).

It has to be considered that the critical plane for each
loading cycle has a different orientation. Nevertheless, in
order to simplify the analysis and considering the small
process volume where the fatigue crack nucleates, it was
assumed as a reasonable approximation to sum up the
damages as they occurred on the same node and always

FIGURE 11 Total damage at

break through evaluated according to

Palmgren–Miner hypothesis by using

the NSA approach (left) (for the two

block histories, the four test series are

distinguished); experimental versus

expected number of cycles based on the

NSA method and according to the

Palmgren–Miner hypothesis (right)

[Colour figure can be viewed at

wileyonlinelibrary.com]

TABLE 4 Maximum von Mises equivalent stress in the weld

root and weld toes for both bending and torsion loading, according

to the NSA (root, Toe1 and Toe2 are indicated in Figure 7)

Position Bending (MPa) Torsion (MPa)

Root 343 454

Toe1 579 575

Toe2 209 211

TABLE 5 FS and Findley parameter, corresponding node

number in the FE model and number of cycles to break through,

for the different loading block

Loading
cycle

Critical plane
parameter

Node
number NFS

Fatemi-Socie

Bending 3.0 10−3 3134 1.10
106

Torsion 2.97 10−3 2556 1.24
106

Bending to
torsion

1.98 10−3 2542 6.70
106

Torsion to
bending

2.05 10−3 2542 6.50
106

Findley

Bending 209 MPa 3134 1.50
106

Torsion 223 MPa 2556 9.50
105

Bending to
torsion

146.6 MPa 3134 2.10
107

Torsion to
bending

151.5 MPa 2542 1.60
107
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on the same plane. This is a mere simplification and a
more accurate procedure can be developed in future
works.

By using the FS and FP parameters obtained by the
FE analyses (given in Table 5), the damages shown in
Figures 13 and 14 on the left were obtained. The same
results are given in the plots on the right side of the fig-
ures, in terms of occurred versus expected number of
cycles to break through. Also in this case, the damage at
break through is always greater than 0.5. The FS parame-
ter provided a slightly smaller dispersion. Considering all

the tests with the exceptions of run-outs, the average
damage at failure resulted about 1.22 and 1.26 for the FS
and FP parameters, whereas the standard deviation
resulted 0.41 and 0.47, respectively.

By comparing results given in the left plots of Fig-
ures 10 to 14, it can be observed that a slightly more sta-
ble damage at break through was obtained with the
critical plane approaches.

The relatively larger dispersion in the expected num-
ber of cycles to break through obtained for critical plane
approaches, if compared with the right plot in Figure 10,
is simply related to the fact that all the test series were
planned for the same expected endurance on the basis of
the nominal stress concept (i.e. data in Figure 2) and tes-
tifies the difference of the methods used for the fatigue
endurance assessment (i.e. nonlinear analysis and
detailed geometry in case of FS and FP parameters).

It is worth noting that the damage associated to
load shifting is very low also in case of critical plane
approaches, even if this contribution obtained according
to FS parameter is significantly higher than that
obtained with all the other methods. In particular, with
reference to ‘S’ blocks, which experiences many load
variations from bending to torsion and vice versa, the
damage associated to load shifting goes from about 2%
of total damage at failure (average value) if FS parame-
ter is used, to 0.6% with FP parameter and 0.3% with
the NSA.

FIGURE 12 Enlarged view of the nodes at the weld root;

nodes in red are those where the highest values of the FS and FP

parameters were obtained for the four loading cycles [Colour figure

can be viewed at wileyonlinelibrary.com]

FIGURE 13 Total damage at

break through evaluated according to

Palmgren–Miner hypothesis by using

the FS parameter (left) (for the two

block histories, the four test series are

distinguished); experimental versus

expected number of cycles based on the

FS parameter and according to the

Palmgren–Miner hypothesis (right)

[Colour figure can be viewed at

wileyonlinelibrary.com]

FIGURE 14 Total damage at

break through evaluated according to

Palmgren–Miner hypothesis by using

the Findley parameter (left) (for the two

block histories, the four test series are

distinguished); experimental versus

expected number of cycles based on the

Findley parameter and according to the

Palmgren–Miner hypothesis (right)

[Colour figure can be viewed at

wileyonlinelibrary.com]
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6 | CONCLUSIONS

From the research activity and based on the obtained
results the following main conclusion can be drawn:

• When it can be applied, the nominal stress method is
by far the simplest method in terms of analysis and
computation time; for the relatively simple geometry
that was investigated, the results obtained by the nomi-
nal stress approach, if compared with the results
obtained by the more complex methods (requiring at
least a linear FE analysis), can be considered fairly
good.

• For the present study, the application of the NSA, gave
results in very close agreement with the nominal stress
concept; this was mainly due to the fact the endurance
curves were calibrated on the same available data base
and to the fact the both the nominal stress approach
and the NSA are based on a linear elastic analysis.

• Critical plane approaches, at the cost of a greater effort
necessary for model development and data analysis
gave similar results to the other methods, with a
slightly lower variability of the damage observed at
failure for the different loading sequence.

• An accurate description of the actual weld geometry is
mandatory to be able to correctly determine the fatigue
crack initiation site; this was accomplished only by the
critical plane approaches, in the present case.

• For all the employed methods the damage at failure
appeared to depend on the loading history and, in par-
ticular, on the block length; the damage at failure
reduced as the length of the loading blocks shortened;
the observed damage at failure was greater than one in
most of the experiments.

• The fatigue assessment of welded joints under complex
loads remains an open subject and a unified approach
is not available, yet.

7 | NOMENCLATURE

a1, a2 amplitudes of the actuators load history
b twisting moment arm
D damage
D1 expected damage related to the first loading

block
Dben damage in the bending block cycles
Dtor damage in the torsion block cycle
E Young's modulus
F1,
F2

Forces exerted by the hydraulic actuators

FP damage parameter according to the Findley criti-
cal plane hypothesis

FS damage parameter according to the Fatemi-Socie
critical plane hypothesis

h bending moment arm
kFS coefficient used in the FS parameter
kFP coefficient used in the FP parameter
K0 cyclic strength coefficient in the Ramberg–

Osgood relationship
n1, n2 number of cycles in the first and second loading

block
n' cyclic strain hardening exponent in the Ram-

berg–Osgood relationship
nb,0.3 number of cycles in the bending block, related to

an expected damage of 0.3
nb,0.45 number of cycles in the bending block, related to

an expected damage of 0.45
ni number of applied cycles
nt,0.3 number of cycles in the torsion block, related to

an expected damage of 0.3
nt,0.45 number of cycles in the torsion block, related to

an expected damage of 0.45
Ni expected endurable loading cycles for the given

applied loading
Nb number of cycles of the bending block
Nt number of cycles of the torsion block
Ntot total number of cycles for any given loading

block
Mb bending moment
Mt t moment
R load ratio
Su ultimate stress
Sy yield stress
Wb strength modulus under bending loading
Wt strength modulus under torsion loading
γ phase shift between the actuators load
Δγ shear strain range in the FS parameter
Δ�σ nominal normal stress range related to load

shifting cycle
Δ�τ nominal shear stress range related to load

shifting cycle
Δσn nominal normal stress range
Δτn nominal shear stress range
ε uniaxial strain in the Ramberg–Osgood

relationship
ξ, η mean load exerted by the hydraulic actuators
σ uniaxial stress in the Ramberg–Osgood

relationship
σn nominal normal stress
σa,n nominal normal stress amplitude of the fatigue

cycle
σn,
max

normal stress acting on the critical plane

τa,n nominal shear stress
τa,n
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nominal shear stress amplitude of the fatigue
cycle

ω angular frequency in the actuators load
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